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Abstract—The stress—strain response of an electron beam, physical vapor deposited (EB-PVD)
NiCoCrAlY overlay coating applied to a single crystal nickel base superalloy (CMSX-3) is studied
by subjecting stepped-disk fatigue specimens to thermal cycles with different rates of heating (from
520 to 1090°C in 4.5, 6, and 20 s) and cooling (to 520°C in 7 and 15 s). Rate-dependent material
anisotropy is modelled using a creep (or flow) potential for a cubic crystal and the associated flow
rule. An anisotropic creep finite element analysis of the substrate reveals that continued cycling
does not affect the strain ranges, which play a role in coating degradation. However, continued
cycling does produce an increase of the peak tensile stresses (from 13 MPa for the first cycle to
about 250 MPa at the 6000th cycle for 4.5 s heating history). Most of this transition occurs before
the 500th cycle. As a consequence of these tensile stresses, crack propagation rates into the substrate
are expected to be more severe than the predictions from a thermo-elastic analysis. However, the
conventional thermo-elastic analysis is very accurate at estimating the strain ranges. For the coating,
an isotropic creep finite element analysis shows that the mechanical strain range (Ae+A¢®) and
tensile peak stresses responsible for crack initiation and crack growth, with 0.52% strain range in
the substrate, are 0.83% and 460 MPa for the 4.5 s heating cycle, due in large part to the thermal
expansion mismatch between the coating and substrate.

1. INTRODUCTION

The drive toward better performance and fuel economy for aircraft gas turbine engines has
resulted in ever-higher turbine inlet temperatures. The resulting heating and cooling rates
are higher along the airfoil edges than in the bulk of the blade, generating cyclic thermal
strain gradients. During take-off the leading and trailing edges of a first stage blade can rise
from 520 to 1090°C in under 8 s (Thulin ez a/., 1982 ; Kaufman and Halford, 1984). During
turbine shut-down immediately after landing and thrust reverse, the edge temperatures can
decrease from 1090 to 520°C in 5-17 s.

The choice of the substrate material is usually based on its creep and fatigue strengths
for given operating conditions. Material chemistry may enhance these mechanical properties
but does little to improve resistance against oxidation, hot corrosion, and surface erosion
experienced by materials at high temperatures. This deficiency is overcome by applying a
50-100 pum thick protective coating. However, the ever-increasing operating conditions
make coating degradation a life-limiting phenomenon.

Knowledge of the stress—strain histories of both the substrate (e.g. blades by Kaufman
and Halford (1984)) and the coating is necessary to predict how these histories cause coating
cracking or spalling, reducing its ability to protect the substrate. Unfortunately, direct
measurements of stresses and strains during service are not possible. Therefore, simulation
of service conditions with feasible experiments is necessary. Furthermore, due to inter-
action between material properties and the inhomogeneous temperatures, these experiments
are usually coupled with highly complex analysis.

Considerable work has been done in the past on thermal fatigue of uncoated (Howes,
1976) and coated specimens (Leverant et al., 1976; Nesbitt et al., 1984; Rickerby and
Wood, 1986). However, many limitations arise from the gas burner and fluidized bed
techniques used to simulate service conditions. During this investigation, induction heating
of the periphery of coated stepped-disk specimens was used to reproduce heating rates and
ranges of cyclic thermal strains typical of those developed in trailing edges of blades and
vanes during normal operating conditions. This technique, developed by Holmes et al.
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Table 1. Nominal chemical compositions of substrate and coating

Ni Co Cr Mo W Ti Al Ta Y

CMSX-3 substrate wt. % 66.4 4.6 79 05 8.0 1.0 56 6.0 —
(MAR-M-247 at. % 67.9 4.7 9.1 0.3 2.6 1.1 124 1.9 —
derivative)
NiCoCrAlY wt. % 50 20 18 — — — 12 — 0.2
coating at. % 424 176 178 — o — 22 — 0.05

(1987), and adapted to 14 mm diameter specimens by Busso (1987), offers substantial
improvements over the more traditional gas burner and fluidized bed techniques (Howes,
1976). The main advantages of induction heating are reduced costs and the increased
flexibility in selecting the desired temperature cycle and the environment to which the
specimens will be subjected. As in gas burner rigs and fluidized bed tests, the temperatures
can be measured with appropriately placed thermocouples. This eliminates the need for
expensive heat transfer analysis to determine the temperature distributions in the specimen
during the thermal cycle.

Here we address the problem of finding the coating strain histories due to imposed
loading from the substrate under various heating and cooling rates in the convenient disk-
shaped specimens used with induction heating. Accompanying thermal fatigue experiments
have been reported elsewhere (Busso, 1987 ; Busso and McClintock, 1988).

As an example, CMSX-3 was chosen as a typical precipitation hardened Ni-based
superalloy. An electron beam, physical vapor deposited (EB-PVD) NiCoCrAlY overlay
coating was selected as the protective coating (see Table 1 for chemical compositions).

2. EXPERIMENTAL PROCEDURE

2.1. Specimen Geometry
Stepped-disk specimens of 14 mm diameter (Fig. 1) were machined from a single
crystal rod of CMSX-3 with their faces normal to the {001) crystal growth direction and
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Fig. 1. Detailed drawing and orientation of stepped-disk specimen (all dimensions in mm). After
Holmes et al. (1987).
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with external radii typical of those of blade trailing edges. Specimens were subsequently
given a 95 um thick coating and a combined aging and diffusion treatment.

Due to the anisotropic elastic and creep material properties interacting with the radially
inhomogeneous temperatures, the strain range along the specimen periphery is a function
of its local crystallographic orientation, changing from a maximum at the {100) to a
minimum at the {110} periphery orientation. This allows the use of a single specimen to
simultaneously obtain coating durability and crack initiation data from various strain levels,
all subject to the same temperature histories.

2.2. Control of Coating Strain History

Since the thin coating gives negligible constraints to the substrate, the total in-plane
strain history of the coating is determined by the total in-plane strain history of the substrate.

Programming of the power input to the concentrator coil allows control of the heating
and cooling rates. These rates in turn determine the transient strains in the periphery from
the temperature distributions throughout the specimen. Enough steady state compression
in the periphery to simulate cruise conditions is achieved by passing compressed air through
the center of the specimen and its supporting rods.

For higher tensile strains during cooling, high pressure air was blown on the specimen
periphery from an upper and a lower cooling manifold (Holmes ef al., 1987).

2.3. Selection of Thermal Cycles

To determine the effect of different strain histories on coating degradation, three
different heating rates were used on the periphery, all with minimum temperatures of 520°C,
a holding time of 60 s at 1090°C, and cooling back to 520°C in 15 s. The rapid 4.5 s heating
of Fig. 2(a), the intermediate 6 s of Fig. 2(b), and the slow 20 s heating cycle of Fig. 2(c)
were chosen to show how the strain histories obtained from these different cycles affect
coating life. The intermediate heating (6 s) rate was combined with a fast cooling (7 s) rate
to evaluate the effect of higher tensile peak stresses generated during cycle cooling (Fig.
2(d)). The temperature profiles in the specimen were established by using four chromel-
alumel thermocouples (0.13 mm wire diameter) at various radii (Fig. 3).

3. FINITE ELEMENT ANALYSIS

In the disk-shaped specimen discussed here, the stress—strain history of its periphery
is found from the measured temperature history throughout the specimen. The non-linear
finite-element program ABAQUS (1985) was used for this purpose.

It is common practice in industry to use elastic strain ranges as a way to describe
coating conditions. In general, a high temperature component is subjected to both static
(creep) and cyclic (fatigue) loadings. A flow and evolutionary model for a general history
in the Bauschinger regime (¢ < 1%) would be needed to account for all types of inelastic
strains which develop during service. However, due to the lack of such data, anisotropic
power law creep was assumed as an initial approximation to determine the effects of
inelasticity on the stress—strain response, compared with a thermo-elastic analysis.

3.1. Model of Substrate

Due to symmetry, a 45° octant of the anisotropic stepped-disk specimen was sufficient
for finite element modelling (Fig. 3). One hundred and twelve eight-node plane stress
elements with full Gaussian integration were used. Symmetry boundary conditions were
applied along the (100> and {110} radial directions.

The mean coefficients of thermal expansion for the single crystal CMSX-3 are given
in Fig. 4 (Allison—-GM, 1986)."

Elastic compliance data, determined ultrasonically (Allison—-GM, 1986), were given in
terms of
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showed some irregularities (Fig. 5), the data were smoothed with a second-order
polynomial. These smoothed values, together with E 0, and Gyo0y, were then used to
obtain the elastic compliances. For cubic symmetry, the stiffness constants denoted E,;, in
ABAQUS (1985) are related to the usual two-index stiffness constants C;; and the com-

pliance components §;; by

Enn=Epy=Es=C =

Enn=E=Enns= Ciy =

Epy = Ej33 = Cgg = Cay =

Siu+Si
(S =808, +281,)
~84;
(S11—812)(8,+25,)
1
T 3
5. (3)

The final elastic stiffnesses C;; are given in Fig. 6.

The steady state creep data from {100) specimens of Table 2 (Allison-GM, 1986},
provided at 1010 and 1066°C, were expressed in terms of the relation
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Table 2. Creep coefficients of eqn (4) for CMSX-3

T Fals ) m
1010 1.209x 1077 8.27
1066 5.734x 1077 8.06
) ) o (T} ) o (T
s =g ™YK (") =&(T) | — @)
Go Gy

where the nominal strength oy( = 200 MPa) is the stress at which the creep activation energy
of 397 kJ mol ™! was found from a plot of In &, vs 1/T. In ABAQUS (1985), the resulting
£4(T) was linearly interpolated within 10°C intervals, with a maximum relative error of 3%.

3.2. Creep Anisotropy
3.2.1. Hill’s stress function
For creep anisotropy, ABAQUS (1985) employs a generalization of the Mises yield
criterion proposed by Hill (1950), which for axes with cubic symmetry is given in terms of
a parameter R (=1 for isotropy)

62 =1{02:—0633) +(011—022) +(033—01)’1+3R[6}; + 05, +01,]. (5)

Equation (5) can also be expressed in terms of stress deviators, defined as the differences
of normal components from the mean normal stress s;; = ¢;,,— J,,0, where ¢ = 5,/3
Py = 3

g SiSisl =y + 3RSl 1y

3
= 3(sTi+ 532 +533) +3R(sT, + 53, + 533+ 55 + 55 +513). {®)

The shear stress components g, (relative to cubic, {100, axes) will be different from zero
primarily near the {110} axes, so that R affects the creep rates in that region. To find R, a
functional relation between it and the available (100> and (110> creep data must be
developed.

3.2.2. The associated flow rule

The fact that the strain increment vector associated with a given point on the yield
tocus must always be normal to the locust (derived by Bishop and Hill (1951) from the
resolved shear stress law for all slip systems within a crystal, a polycrystal, or a structure)
implies that there is a proportionality between components of plastic strain increment and
the corresponding components of the outward normal to the yield locus in the stress space.
This relation is called the associated flow rule. For incompressible materials (with strains
equal to strain deviators) it gives the strain increments in terms of the stress deviators,
partial derivatives, and a proportionality constant d4

+ Except at any sharp corner on the yield surface.
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o
def, = 6—;5- di. (7)
ij

Differentiating the stress function & in the form of eqn (6) gives the anisotropic stress—
strain relations

1 862 di
P - " = bt R
def, Gs” dzl 3 5] dA = 35y, 5 des,
il 1 862 di
dy®, = 2des, 25s1 di a 3Rsi =, (8)

Note that the one-to-one relationship between def; and the corresponding component s;; is
only true for materials which exhibit isotropic or cubic anisotropic behavior.

Finding the proportionality constant dA. The plastic work done as a body undergoes
deformation can be thought of as the dot product of the deviatoric stress and plastic strain
increment

== 81y d811+522 ng2+S33 de 3+2S;3 d823+2S3] ds +2S§2 dg‘:;. (9)

Now substituting eqn (8) into eqn (9)
2 2 2 2 2 d/‘[ =2
dwr _"{ (5714532 +533) +3R(s33 + 53 +3512)] =50 (10)

An increment in equivalent plastic strain can thus be defined as the work per unit equivalent
stress

d
dh=—r

3

dér. an

al

For creep, rates rather than strain increments must be described. Equation (8), with
d/ replaced by di? from eqn (11) becomes

& &
é

LR ??2:3R512—:9“~ (12)
g

&= go(f-)m (13)

3.2.3. Finding R from uniaxial {100) and {110) creep data
Loading along a {100) orientation. The applied stress o,,40, gives a longitudinal creep
rate sn (in cubic axes) From the power law relation of eqn (13), with & = 6,40, and

&y = Wp/0'<mo> = &7
0 m
ép, = go(--i’i’ﬁ) . (14)
Gq

Loading along a {110) orienitation. Here there is no cubic symmetry, so the yield locus
is no longer represented by the cubic form of Hill’s yield function (5). To avoid having to

8SAS 24:11-C
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find a new yield function for this orientation, we rotate the reference frame back to cubic
axes. The stress field in a {110) specimen (system 1’2’ of Fig. 7(a)) is

Oy = 00110y # 0, 0y =033 =0.

Now finding the stress components for the cubic axes (system 1-2 of Fig. 7(a)) through
Mohr’s circle of Fig. 7(b)

c
<110}
01|=022=012=T- (15)

The mean normal stress is

_onton G

3 3

and the deviatoric components of eqn (15) are
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Substituting eqns (16) into eqn (6) gives the equivalent stress in cubic axes in terms of the
applied stress o,,,0, and R

0'2110)
6" = =72 (1+3R). (17)

To find the strain rates in cubic axes, substitute eqns (16) and (17) into eqns (12)

. . 3 O'<110> 2 . 1 1 .
P == o 2
T = =06 s (I43R) 2 ~ 2 (43R 72°
. . . 1 .
€y = —£1 - = — ng
i _ 2 pdiio 2 i _ 3R 1 2p 18
= 3R A F3R)7° (+3R)72°" 18

Using Mohr’s circle once again (Fig. 7(c)), gives the {110} creep rates from the (100}
rates of eqns (18) in terms of the (100> equivalent strain rate &°(5)

1 .
&y =G+ %R)Wﬁ_p(&)- (19)

Expressing £P(3) in terms of ¢ from power law creep (13) and & in terms of o, 10y from

eqn (17)
& = (ﬂlzﬁ}};))’”* 18-0(&@)”“ (20)

[

Substituting &, and ¢, from eqn (14) into eqn (20) and replacing ¢%, of eqn (14) by the
identical €f o5 gives R from (100> and {110 creep data

. . A+3R)Y" (o010 Y
&y =8 = <’\/—‘J < 8?100>~ 21

2 G0y
{110 and {100) creep data (Allison—-GM, 1986), taken at 1090°C, gave R = 1.13.

3.3. Model of the Coating
Since in a thin coating the stress and strain rate are homogeneous, the coating was
modelled with a single four-node plane stress element. The plane of the model was the
(traction-free surface) r plane of the substrate coordinates (Fig. 8). Since the in-plane
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components of displacements are the same in both the coating and substrate, they determine
the in-plane components of total strain (the tangential &5""**(¢) and the through-specimen-
thickness &2PP'“d () strain components of Fig. 8) in the coating, which constitute its imposed
loads. The &P"d(7) component can be conveniently found by modelling the external row
of elements of Fig. 3 with generalized plane strain elements with ¢_, = 0. The temperature
history for the coating was that of the outer radius of the specimen for the most severe
heating time, 4.5 s (Fig. 2(a) at R = 6.5 mm).

The NiCoCrAlY coating was assumed isotropic. Its elastic dynamic modulus was
obtained from Hillery ef al. (1986) and fitted with a second-order polynomial as shown in
Fig. 9(a). Due to the lack of accurate data, Poisson’s ratio at high temperatures for the
NiCoCrAlY had to be approximated from the ratios for materials which exhibit similar
homologous temperature dependence in Young’s modulus. Comparison of available modu-
lus data for several materials (Simmons and Wang, 1971) showed the NiCoCrAlY to have
similar temperature dependence to Al and W (Fig. 9(a)). The elastic modulus and Poisson’s
ratio were normalized by dividing their values at zero absolute temperature, and the
temperature by the melting point temperature, T,,. Figure 9(b) shows Al and W Poisson’s
ratio as well as the interpolated values for NiCoCrAlY. The mean coefficient of thermal
expansion for the isotropic NiCoCrAlY coating is given in Fig. 4 (Allison—-GM. 1986).

The creep behavior was modelled from data at 661, 850 and 1050 C obtained
by Hebsur and Miner (1986) on a plasma sprayed NiCoCrAlY coating. In order to inter-
polate creep data at intermediate temperatures logarithmically and to avoid occasional
narrow-band temperature interpolation inaccuracies, a user’s material subroutine con-
taining the power law creep model and a forward gradient time-integration procedure was
implemented.

4. RESULTS AND DISCUSSION
4.1. Substrate
4.1.1. Anisotropic thermo-elastic analysis
A feeling for the stress—strain histories can be obtained by following the cycle of Fig.
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Table 3. Comparison of substrate thermo-elastic and creep analyses

Anisotropic creep

(eighth cycle} Thermo-elastic
Strain history Cooling stress  Cooling stress
Cycle Rim (%) (MPa) (MPa)

{s) orientation & Range, As™ oo 0
20-15 (110> ~0.169 0.152 —-10 - 19
20-7 {1105 —0.165 0.180 26 22

615 (110> —0.213 0.197 -5 —16
4.5-15 <110 —0.273 0.258 -1 -1
2015 {1007 —0.333 0.304 45 -21
20-7 {100y —0.334 0.356 98 27

6-15 {1003 ~0.425 0.399 60 —20
4.5-15 {100 —0.543 0.519 87 20

10(a). For the {100} rim orientation, the initial heating drives the rim into compression (A
to B). From B to C, although the temperature is still increasing, the stresses become less
compressive due to a decrease in the radial temperature gradient, (The sharp corner at B
is due to the discrete time-temperature input in the finite element model.) From C to D,
the rim temperature is kept constant at 1090°C but the core temperature is still rising and
the rim stress is becoming less compressive, both approaching the steady-state D after only
10-20 s.

Cooling decreases the compressive stresses, and with fast cooling (7 s), they even
become tensile (see last column of Table 3). After this peak at E, the material starts
unloading elastically until the beginning of the next cycle at A. The peak cooling stress ¢,
will be discussed further in connection with the creep analysis. A similar behavior is observed
at the {110} rim orientation (Table 3).

4.1.2. Anisotropic creep analysis
Since fatigue and fracture are unaffected by the thermal strains per se, the results of the

creep analysis will be discussed in terms of the mechanical strains, €™ = &4 ¢° = ¢ — g,

(1) The extreme strains and the strain ranges at both (100> and {110 locations are
hardly affected by creep, as shown by comparing the thermo-elastic cycle with the first creep
cycle in Fig. 10(b) and with successive creep cycles in Figs 10{c), 11 and 12.

{2) The shape of the hysteresis loops remains relatively unchanged by creep, as shown
in Figs 10-12 (the break in the slope during heating for cycles after the first one, at
g™ = (.3%, is due to having increased the tolerance for the solution of the equilibrium
equations for economy in running eight thermal cycles). Furthermore, the strain range
remains almost constant, showing a change of less than 2% between the first and eighth
cycle for any given thermal history.

(3) For the {100} rim location, continued cycling produces ratcheting of the hysteresis
loop (Figs 10-12). The peak compressive and tensile strains and the stress range remain
nearly constant, but the peak cooling stress increases, shifting the loop upward. To see the
source of the shift, compare the elastic and creep strains during the first cycle for the 4.5 s
history (Fig. 10(b)). Significant compressive creep begins at about 1010°C, increasing the
mean stress of the cycle. The compressive stress then decreases rapidly with only slightly
increasing temperatures, reducing the creep rate. For the first cycle, approximately half of
the creep strains accumulate in the first few seconds after 1000°C is reached (e.g. Fig. 10(b)).
The remaining half of the creep accumulates during simulated cruise conditions at constant
temperature. This stress relaxation diminishes as the cycles shift to higher peak cooling
stresses.

Since the tensile stresses introduced during cooling take place at temperatures below
those where creep and stress relaxation occur and are insufficient to cause yield (according
to data from Mackay et al. (1980)), such cooling involves only elastic strains. These high
tensile stresses would accelerate the crack propagation into the substrate. This may be
critical if a cracked substrate could perform its functions for a limited length of time.

(4) To estimate the long-time ratcheting of the (100> cooling stress, a mechanics-
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inspired model is proposed. Since the mean mechanical strain remains constant, the decrease
in elastic strain is the increase in creep strain. The shifting of the stresses per cycle, do/dN,
will then be proportional to the creep strain accumulated during each cycle ¢°, which is in
turn proportional to the creep rate divided by the cycling rate, é&/N. In turn, é° has an
approximate power law dependence on stresses (13)
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Table 4. Changes in o,,,, with cycles for (100 (eqn (24))

Heating Cooling Onax(1) Ao mex (MPa) for cycle No.
time (s) time (s) (MPa) (MPa) f C m 100 500 6000 Steady state
4.5 15 131 441 0.73 009 638 168 205 245 321
0.45 201
1.00 441
6 15 =2 323 080 008 62 134 167 203 258
6 7 49 374 083 007 6.1 181 215 251 309
do Ee g | o " ©) 22)
—— OC — L o — — | — Sgn (o).
dN N o, &

Consider the stress at that point in the cycle which will have zero stress at steady state
(Point C in Fig. 13). Express o in terms of the changing peak cooling stress a,,,,, and a
fraction f of the total stress range Ag (which remains nearly constant during cycling), as
shown in Fig. 13

0= 0— fAo. (23)

Using eqn (23) to integrate expression (22) leads to an expression for o,,,, in terms of the
above variables plus the maximum cooling stress at the end of the first cycle g,,,(1), and
two unknown constants: the creep exponent m, and a constant C, which reduces to the
proportion of the creep strain to the elastic strain for the first cycle [¢°(1)/N]/e%(1)

Tmax(N) = [Omax (1) = fAG(D][1+ (m—DCN— D]~ """ + fAo. 24

Equation (24) is based on a stress ¢ which shifts towards zero as cycles accumulate. At
steady state (¢ = 0), compressive creep (before the stress in the cycle reaches zero) generated
during the heating and part of the holding period is counteracted by tensile creep (after the
stress in the cycle reaches zero, toward the end of the holding period). The point in the
cycle which would go to zero stress at steady state would thus be somewhere in between B
and D in Fig. 13, since both forward and backward creep would take place within this
region.

The parameter f in eqn (24) allows us to estimate the possible values of a,,,, at steady
state. For example, assuming steady state to occur when o, defined at half-way between the
peak compressive stress g,,;, and the stress at the end of the holding period oy, (Point C in
Fig. 13), reached zero gives the values of f shown in Table 4. With f chosen, and ¢,,,,(1)
and Ao known, C and m from eqn (24) can be evaluated from the calculated transients of
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each thermal cycle (Figs 10(c)-12). Figure 14 shows least square curve fittings to eqn (24)
for the 4.5 s heating and for the 6 s heating histories with two different cooling rates. Table
4 shows the resulting constants C and m and how o,,, increases with cycling from eqn
(24). Most of the rise in 0., for the three histories reaches 2/3 of its final value before the
first 500 cycles.

Different values of f were chosen to evaluate its effect on o,,,,. At one extreme, take
the point in the cycle at which ¢ = 0 at steady state to be the stress at the end of the holding
period (Point D in Fig. 13). In this case, for the 4.5 s history (Fig. 10(b)), f = 0.45. The
above procedure then gave a stress at steady state of 6., = 201 MPa (against 321 MPa for
f = 0.73 when o is at half-way from compressive peak to hold). At the other extreme, for
o at the compressive peak, f = 1, giving o, = 441 MPa.

While the half-way basis for f in Table 4 was somewhat arbitrary, we think that a
computer solution for o, at steady state (if it were feasible) would be lower than that of
Table 4 by 10-30%. In any event, it is clear that the tensile stresses appear early in the 6000
cycle life.

(5) The {110} orientation exhibits ratcheting similar to the {(100) but less pronounced.
It, also, shows no changes in the strain range.

(6) From all the preceding discussion, the thermo-elastic analysis was very good at
estimating the strain ranges, but it badly underestimated the o, obtained from the creep
analysis (e.g. ~20 MPa vs 245 MPa after 6000 cycles for the 4.5 s heating history at a
{100 location).

4.2. Coating
The effect of the strain on the coating life is again reflected only in the mechanical part
of the total strain, since the thermal strains will not by themselves cause damage. The
mechanical strain ranges (as absolute values) for the coating were obtained by adding the
thermal expansion mismatch strain range (0.31%), which only depends on a,, &, and the
extreme cycle temperature, to those of the substrate

Aemet = Ag™h 4 (0. —a ) AT for constant «, or 25
= Al + Alo(T— Tre) — 0 (T— Trer)].

For instance, for the most severe cycle with a mechanical strain range for the substrate of
Ag™® = (0.52% (Table 3), the coating range is Ag™ed = 0.83%.

The coating crack initiation life is driven not only by the mechanical strain range but
also by the stresses. A finite element analysis of the coating was carried out to evaluate
these stresses. The accuracy of the finite element analysis was set by a nodal force tolerance
for equilibrium of 0.1 N (for a 0.05 mm’ element section), and by a maximum change
in the equivalent tensile plastic strain during an increment of 10~ °. The initial residual stress
in the coating was tentatively assumed to be zero. (As shown below, initial residual stresses,
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due to the aging treatments and their change due to further relaxation and differential
contraction on cooling, would disappear after the first cycle.) An estimate of the shear
stresses on the coating/substrate interface due to centrifugal forces in a turbine blade gave
only 0.4 MPa, which turns out to be negligible.

With zero initial stress, heating to 520°C gives a compressive stress at the beginning
of the first cycle (Point A of Fig. 15). Subsequently, the high creep rates make the stresses
relax almost to zero during the first 3 s of the heating period. Steady state is approximately
reached in the second cycle (Fig. 15) due to the fact that the forward creep generated when
¢ < 0 is offset by backward creep generated mainly during the beginning of cooling. The
breaks in the slope during the cycles are due to the discrete creep data input into the finite
element model.

The negligible effect of an initial residual stress can now be seen. Any residual stress
could not have shifted the stress at the start of the first cycle (520°C) any higher than Point
B, because the tensile stress would have exceeded yield. Any initial stress starting the cycle
between A and B would converge to steady state even faster than the zero initial stress
corresponding to Point A.

The maximum tensile stress in the coating. %, = 460 MPa (compared to 245 MPa
for 6000 cycles for the substrate, Table 4), is reached at 546 C during cooling (Fig. 15). At
this stress and temperature, the coating will be on the verge of yielding (Strangman, 1977).
This high coating stress will certainly promote substrate as well as coating cracking, since
even after a coating crack propagates to the substrate/coating interface. the high coating
stresses will still augment the crack tip stress intensity and hence the propagation rate
(unless interface spalling were to occur).

The only crack initiation data found in the literature was that of Leverant et a/. (1976).
For comparative purposes, Fig. 16 shows crack initiation in an NiCoCrAlY coating on
various superalloy substrates which were tested with a 67 s heating cycle. Based on these
data and on our coated CMSX-3 strain ranges, crack initiation for our simulated service
should take place almost immediately. Thermal fatigue tests performed in conjunction with
our work (Busso, 1987 ; Busso and McClintock, 1988), show that coating cracks may not
occur before 6000 cycles even with strain ranges of up to 0.51% (Fig. 16),T whereas Leverant
et al. (1976) reported this limit to be around 0.22%.} This discrepancy may be associated
with the level of the tensile cooling stresses, and also with different shapes of the hysteresis
loops, causing different interactions of stress, strain, and temperature. However, since

+ Thermal fatigue tests done by Holmes et al. (1987) on an aluminide coating revealed that crack-like defects
extending into the substrate required a mechanical strain range for the coating greater than 0.59%.
1 Other data, unpublished, appear to be closer to our results than to Leverant e al’s.
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Leverant et al. (1976) did not report these details, a quantitative comparison cannot be
carried out.

To minimize the level of these tensile stresses and strain ranges in the coating, thermal
expansion mismatch strains between coating and substrate should be minimized. Beyond
that, further crack initiation and crack propagation data for the coating, with realistic
stress—strain—temperature histories, are necessary to accurately correlate realistic strain
ranges with the development of damage.

5. CONCLUSIONS

(1) The general anisotropic formulation for creep of cubic crystals was obtained in
terms of uniaxial (100> and {110} data.

(2) For the substrate, the conventional thermo-elastic analysis is a good predictor of
strains and strain ranges, even for cycles with creep. The shape of the hysteresis loops is
little affected by creep. Mechanical strain ranges for the (100) substrate orientation vary
from 0.52% for the 4.5 s heating cycle to 0.31% for the 20 s heating cycle.

(3) Continued cycling produces ratcheting of the stresses for both crystal orientations
but does not affect the strain ranges, which play a role in coating degradation.

(4) Peak tensile stresses generated in the substrate during cooling increase considerably
during cycling. This increase was 6-8 times greater for the (100) than for the (110> rim
location. A mechanics-inspired model of long time ratcheting revealed that the main effect
of different heating rates on cooling peak stresses will be seen before the 500th cycle, when
the rise in peak stress reaches 2/3 of its final value for all thermal histories. For the most
severe 4.5 s heating time, the peak stress rises from 13 MPa at the first cycle to 245
MPa at the 6000th cycle. These values, compared to the —20 MPa estimated from the
conventional thermo-elastic analysis, indicate that the cooling stress levels calculated ther-
moelastically were highly underestimated, and as a result, their effects in the crack initiation
process and subsequent crack propagation rates may be substantial.

A decrease in the cooling times for the 6 s heating cycle from 1510 7s (whﬂe maintaining
the same heating rate) resulted in an increase in the peak cooling stresses from 203 to 251
MPa at the 6000th cycle.

(5) For the coating, to minimize the level of the tensile cooling stresses and strain
ranges, thermal expansion mismatch strains between coating and substrate should be
minimized. In our case, with o, typically 1.3¢,, the most severe imposed substrate strain
range (0.53%) induced a 0.83% strain range and 460 MPa tensile cooling stress in the
coating. Future work on determining crack initiation and crack propagation data for
NiCoCrAlY coatings for the 520-1090°C temperature range is needed to correlate these
strain ranges and stresses with the development of damage.
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